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Abstract.

High strength preloadable bolt assemblies are commonly adopted in beam-to-column bolted connections.

Nowadays, two systems of high strength preloadable grade 10.9 bolt assembly are recommended in Europe for structural
applications, namely HR and HV, which are characterized by different failure modes. Recently, experimental tests performed on
HR and HV bolt assemblies highlighted that the type of bolt assembly may significantly influence the joint response. Therefore,
the accuracy of numerical modelling of bolt assemblies is crucial to simulate effectively the non-linear behaviour of bolted joints
with either failure mode 2 or mode 3 of the bolt rows. In light of these considerations, this present paper describes and discusses
some modelling criteria for both HR and HV bolts to be implemented in 3D finite element models by finite element analysis and
structural designers. The comparison between the calibrated models and experimental results shows the accuracy of the
proposed assumptions in simulating all stages of assembly tensile response.
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1. Introduction

Bolted joints are widely adopted into steel structures,
especially in Europe where they are typically characterised
by lower constructional costs and simpler fabrication,
erection and quality control procedures than those requested
for welded connections (Da Silva and Santiago 2003). The
EN 1993-1-8 (2005) provides a methodology based on the
“Components Method”, which allows to predict the
response of beam-to-column joints, by breaking down the
joint into its main mechanical components, that are
subsequently characterized in terms of strength and
stiffness. The behaviour of the bolt components described in
EN 1993-1-8 (2005) is based on an elastic-perfectly plastic
response and no distinction is made between the different
types of bolt assemblies currently available in the European
market.

In accordance with EN 1993-1-1 (2005) and EN 1090-1
(2008), two systems of high strength preloadable bolts can
be adopted for structural applications in Europe, namely the
HR (acronym for “High Resistance”) system and the HV
(German acronym for “Hochfeste Bolzen mit
Vorspannung”, meaning “high resistance bolts for
pretension”) system. The mechanical requirements as well
as the bolt and nut assembly dimensions and tolerances for
HR and HV systems are given in EN 14399-3 (2005) and
EN 14399-4 (2005), respectively.

The typical failure mode of HR system is the shank
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necking (Prinz et al. 2014, D’ Aniello et al. 2016), whereas
the HV assemblies fail by thread-stripping and full removal
of the nut (D’Aniello et al. 2016), as a consequence of
thinner nuts and shorter threaded length tightened into the
nut. The differences of both failure mode and corresponding
inelastic tensile response can affect the strength and
ductility of T-Stub connections (D’Aniello ef al. 2016), also
influencing the ultimate response of bolted joints under
column loss scenario (Kwasnieswski 2010).

Several formulations and analytical models have been
developed in the last decades for describing the tensile
response of steel bolts. The modelling criteria proposed by
Prinz et al. (2014), Swanson and Leon (2001) and Hanus et
al. (2011) takes advantage of simple constitutive laws,
which reduce computational effort, thus being suitable for
both numerical and analytical analysis of bolted joints.
However, it should be noted that these formulations were
developed for North American bolt assemblies and
generally do not account for the case of nut stripping and
inelastic deformability of the threaded zone, thus being
poorly accurate if implemented for European preloadable
bolt assemblies (D’Aniello et al. 2016). On the other hand,
FE modelling techniques using very refined meshing to
model the thread geometry and surface interaction, as those
adopted by Wu et al. (2012), Pavlovic et al. (2015),
Grimsmo et al. (2016) and by Long et al. (2016), lead to
very accurate results, but they significantly require high
computational effort for calculating a single bolt assembly
(generally unfeasible for ordinary computers and medium
work-station platforms), due to the large number of finite
elements and the convergence difficulties in computing
complex contact interaction in the threaded zones.

Equivalent shank models were also proposed by Wu et
al. (2012), but if the failure of bolt assemblies is the nut
stripping, this type of equivalent shank model cannot
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(e) HR monotonic force-displacement curves
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(f) HV monotonic force-displacement curves

Fig. 1 Experimental tests carried out by D’ Aniello ez al. (2016)

accurately reproduce the force-displacement response of the
bolts in inelastic range. For the aforementioned reasons, it is
effective and convenient to adopt FE modelling strategies
for the bolt assembly that can simultaneously be accurate in
describing the response of European preloadable bolts
assemblies, as well as computationally time efficient. With
this aim, modelling assumptions for simulating all stages of
tensile response of both HR and HV bolt assemblies are
presented and discussed in this paper. The article is
organized in three main parts: (i) the first part describes the
experimental results carried out to characterize the
monotonic tensile behaviour of both HR and HV
assemblies; (ii) in the second part the relevant modelling
assumptions and their validations are described and
discussed; (iii) in the third part the influence of the accuracy
of bolt model on the response of T-Stub connections failing
in mode 2 and mode 3 is shown.

2. Description of the experimental tests

The modelling criteria developed and described in this

paper are validated against the experimental data obtained
by the Authors in a former study (D’Aniello et al. 2016),
where the monotonic tensile response of HR and HV
assemblies was investigated varying the diameter (i.e.,
M16, M20 and M24).

The adopted test setup is shown in Fig. 1. In particular,
the tension force was applied to the assemblies by means of
test fixtures without inserts that were pulled using a
universal electro-mechanical MTS testing machine (see Fig.
1(a)), as described in D’Aniello et al. (2016). The
dimensions of the test set up are presented in Fig. 1(b). The
bolt elongation was measured by two linear variable
differential transformer (LVDT) characterized by a
displacement range of £ 50 mm, which measured the
relative displacement between the steel plates of the casings
to which the assemblies were fastened. The difference in
terms of failure mode between HR and HV assemblies can
be recognized by comparing test specimens after failure
(see Figs. 1(c)-(d)). As shown in Fig. 1(c), the failure of HR
assemblies occurs by shank necking in the threaded shank
zone (where the effective shank section is smaller). Instead,
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the failure mode for HV assemblies is nut stripping (see
Fig. 1(d)). The comparison between an intact and a failed
specimen highlights the smoothing of the crests in the
threaded zone due to the nut removal.

Shank necking and nut stripping exhibit significantly
different tensile force-displacement curves, as it can be
observed by comparing the HR monotonic curves in Fig.
1(e) to the HV monotonic curves in Fig. 1(f). The response
of HR assemblies is characterized by a linear elastic
segment, followed by a nonlinear transition to the plastic
domain and onset of softening from shank necking up to
failure. Instead, the response of HV assemblies initially has
a linear elastic segment followed by a very small plastic
yielding branch. Afterwards, the assembly strength
suddenly decreases due to first thread failure and it is
maintained at about 30 to 40% of the peak strength in a
residual strength plateau up to a very large displacement,
after which strength decreases to zero upon full nut
extraction.

The results from cyclic tests have also shown that the
response curves and the failure modes of both bolt
assemblies are not affected by the loading protocol
(D’Aniello et al. 2016). Therefore, the numerical modelling
criteria based on the monotonic tests are also effective
under cyclic actions.

3. Finite element modelling criteria

The modelling of tensile response until failure of bolt
assemblies is fundamental to ensure the accuracy of
numerical results obtained by means of finite element
analysis of steel bolted joints. Most of analytical and
numerical  studies  proposed effective  modelling
assumptions for US bolt assemblies (Abel 1993, Sherbourne
and Bahaari 1997, Barron and Bickford 1998, Swanson
1999, Mays 2000, Wade 2006). Recently, Prinz et al. (2014)
proposed a trilinear stress-strain relationship to simulate the
material behaviour of HR bolts used for bolted joints.

In the study by Prinz et al. (2014), the bolt ultimate
strength is taken as 17% higher than the yield strength and
the yield plateau extends indefinitely. The post-elastic
transition branch is characterized by a slope equal to
0.0063F, being E the elastic modulus of the steel. However,
the fact that the elastic branch presents a stiffness of 210
GPa indicates that the presented model pertains only to the
shank deformability itself and does not account for other
possible sources of deformability that contribute to the total
assembly deformability, such as the threads. Since HV bolts
are mostly dependent on deformations developing into the
threaded zone of the shank, the numerical model should
account for this additional source of deformability.

A refined multi-linear model for bolts was proposed by
Swanson and Leon (2001), where the bolt response was
derived from experimental tensile tests and schematized by
four linear segments. The first simulates bolt behaviour
prior to overcoming pre-tension force, the second segment
represents the linear elastic response, the third segment
models the onset of yielding (taken at 85% of the tensile
capacity) and finally the fourth mimics the behaviour in
plastic range. The elastic stiffness of the bolt K, was

computed according to Barron and Bickford (1998) and
Swanson (1999) as follows

Lz.f'db_{_ LS + Ltg +f'dh

K, A,-E A-E A-E A, -E

(M

where f is a correlation factor taken as 0.55; d, is the
nominal diameter of the bolt; 4, is the nominal area of the
bolt shank; 4,, is the effective area of the threads; L, is the
length of the bolt shank; L, is the length of the threaded
portion included in the bolt’s grip; £ is the steel modulus of
elasticity.

In order to avoid obtaining excessive values for the
ultimate bolt elongation, this model limits elongation
according to the following expression

09-B,-L
é‘fmct = 14b—nE‘S + gfmct <Ltg + 2 / nth ) (2)
where &, is the fracture strain; B, is the tensile capacity of
the bolt; n,, is the number of threads per bolt unit length of
the bolt.

The modelling approach by Swanson and Leon (2001)
describes the most important stages of bolt response,
allowing to capture accurately the softening due to the
shank necking. More recently, Hanus ef al. (2011) proposed
a model to simulate also the bolt softening by using an
equivalent force-displacement relationship in tension. This
model is characterized by an elastic branch, a nonlinear
transition segment and a bilinear descent branch.

A more refined approach was adopted by Pavlovic et al.
(2015), which used a plasticity curve to define the
hardening material behaviour, coupled with a damage
initiation criterion and a damage evolution law to reproduce
softening and failure. However, this procedure requires very
detailed modelling of bolt assembly geometry, including the
geometrical modelling of the treads on the shank and into
the nut and the relevant surface interactions, thus requiring
significant computational effort for the FE analysis of a
single bolt. Therefore, unless required for a very specific
and detailed application, the adoption of such a model is
less convenient for quick and effective FE analysis of
bolted joints. On the contrary, the use of a multi-linear
constitutive law to simulate the bolt mechanical behaviour,
when a sufficient number of segments is considered, can
effectively describe all stages of bolt assembly response
with a significant limitation of corresponding computational
effort.

In order to highlight the accuracy of existing multi-
linear models (N.B. early developed for US bolts) given by
Abel (1993), Sherbourne and Bahaari (1997), Swanson
(1999) and Mays (2000) to predict the behaviour of
European high strength preloadable bolts, their force-
displacement response curves obtained from both analytical
and finite element analyses were compared to the
corresponding experimental curves from D’Aniello et al.
(2016) in Fig. 2(a), while Fig. 2(b) shows the comparison
between results from finite element analyses incorporating
models by these Authors and the experimental results from
D’Aniello et al. (2016).
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Fig. 2 Comparison between the European piece-wise linear approximated response from tests carried out by D’Aniello
et al. (2016) and modelling assumptions by Abel (1993), Sherbourne and Bahaari (1997), Swanson (1999) and

Mays (2000) for M24 both HR and HV assemblies
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(a) Finite element model

Fig. 3 Model of HR assembly

(b) Main components

As it can be observed, the examined formulations
overestimate the initial stiffness of FEuropean bolt
assemblies. This finding can be explained by considering
that the threaded zones of EU bolts differ from US ones,
which implies differences in terms of axial deformability.
However, the modelling assumptions by Abel (1993),
Sherbourne and Bahaari (1997), Swanson (1999) and Mays
(2000) satisfactorily match the softening rate of HR
assembly, while largely mispredict the post-yielding
response of HV bolts. This comparison highlights that better
refinement is necessary to accurately simulate European
high strength bolts. Hence, in the following Sections,
modelling assumptions with different levels of complexity
and accuracy are proposed and verified against the
presented experimental results.

3.1 Modelling of HR assemblies

3.1.1 Simplified model with equivalent shank

Finite element models of HR assemblies were carried
out using Abaqus (Dassault 2014). The finite element type
C3D8R (an 8-node linear brick type element with reduced
integration and hourglass control) was used to discretize the
model. In order to avoid shear locking and hourglass, more
than three layers of finite elements across the thickness
were adopted for all modelled parts of the bolts. The
numerical analysis was conducted using a single step in
which monotonically increasing displacements were
imposed to the nut until reaching a target displacement
corresponding to assembly failure. The equivalent geometry
of HR bolts is made up of a single continuous element
composed of two zones, as shown in Fig. 3(a), each of
which characterized by different mechanical properties.

Both bolt head and nut (i.e., corresponding to Zone 1 as
shown in Fig. 3(b) are modelled using a linear elastic
material constitutive law with £ = 210 GPa and Poisson
coefficient v = 0.3. The shank (i.e., corresponding to zone 2
as shown in Fig. 3(b) was modelled by meshing a solid
cylinder having the nominal circular gross area of the bolt,
where the plastic behaviour of the assembly is concentrated.

Zone 2 should account for both elastic deformability of
the shank and the plastic behaviour of the assembly, as well.
The equivalent elastic modulus of the shank is calibrated

Table 1 HR and HV equivalent shank model elasticity modulus values

Norminal Smooth Threaded Nominal Effective Stiffness  Stiffness Stiffness  Assembly Equlva}ent Equlvalent
Bolt  iameter shank shank shank area shank arca smooth  threaded orip zone  stiffness elastic  elastic modulus
bl length length shank shank modulus  from Eq. (1)
assemoly D A A k k
L L nom eff’ k k tg Assembly E E Lo
type sS st S8 st eq Barron&Bickford
[mm)] [mm)] [mm)] mm?] [mm?] [N/mm] [N/mm] [N/mm] [N/mm] [N/mm?] [N/mm’]
16 56.3 23.7 201 157 749965 1391139 1009579 328651 130766 157420
HR 20 61.0 19.0 314 245 1081532 2707895 697631 366659 93369 152080
24 57.3 22.7 452 353 1657971 3265639 1355818 607191 107375 144196
16 69.9 10.1 201 157 604049 3264356 511924 255411 101625 163259
HV 20 70.7 9.3 314 245 933146 5532258 386791 260568 66353 155945
24 73.0 7.0 452 353 1301394 10440845 539119 367774 65118 149883
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from the experimental curves, from which the stiffness of
the assembly K, is subsequently derived.

Considering the smooth part of the shank, the threads
and threaded portion included in the bolt’s grip (i.e., the
threads inside the nut) as a system of three springs working
in series, the equivalent assembly stiffness can be computed
as follows

P T 3)

where the stiffness of the smooth part of the shank K, and
the stiffness of the threaded part of the shank K|, are
calculated on the basis of the theory of elasticity. The
stiffness of the threads in the bolt grip K,, can hence be
derived by solving Eq. (3). Thus, rearranging Eq. (3) and
expanding each term, the equivalent shank elastic modulus
E,, can be obtained as follows

-1
1 1 1 L +L,
E,=|——+——+—| x— 4
KW KSI Klg Anom
L L 1) L.+L
Ee — SS + st 44— X S8 + st (5)
! ES Anom ES Aé‘ff th Anom

where Ly is the length of the smooth part of the shank and
Ly, is length of the threaded shank (as defined in D’Aniello
et al. 2016); A, is nominal shank area; A,y is effective
shank area; Ey is the Young’s modulus of the bolt steel.

The equivalent shank stiffness and elastic modulus for
the examined HR and HV bolts (that have an Ly +L,; length
of the shank equal to 80 mm) are shown in Table 1, where it
can be recognized that for both HR and HV bolts, the
equivalent experimental elastic modulus E., is smaller than
the elastic shank modulus Egqonesiciora cOmputed according
to Eq. (1).

The plasticity model was calibrated on the basis of
monotonic tests by D’ Aniello ez al. (2016). The constitutive
law to be applied to zone 2 is characterized by the multi-
linear stress-strain curve shown in Fig. 4(a), and the
coordinates of each point (i.e., P1 through P5) are computed
according to Table 2. As it can be noted, the values of the
maximum normalised stress ratio y.e/fy o (N.B. Gpye 18
the true stress that is defined as oy = Oeng(1 + Oeng), being

Oirue /Ty xpot

Tp3 /Ty xpot
Tpo /Ly xpot
Opa/ Lyt | E

Tpy /My kot

€P4: 8PS 6true,plastic

(a) Constitutive law

Oeng and &,,, the engineering stress and strain, respectively,
while f; i por 15 the  characteristic yield strength of the bolt)
are around 1.0, being the shank modelled with its nominal
diameter. By modelling the shank with its gross area, the
true stress values are scaled down to simulate fictitiously
the bolt strength. Softening is defined by a single segment
between points P3 and P4. The ultimate plastic strain ep, is
given from the quadratic interpolation curve of experi-
mental results as shown in Fig. 4(b).

The comparison between the experimental and the
calibrated numerical bolt force-displacement response
curves is presented in Fig. 5, showing that the equivalent
bolt shank model is capable of accurately reproducing all
stages of the bolt response, including the softening
associated to shank necking leading up to assembly failure.

3.1.2 Refined model with ductile damage

Also for the model with a ductile damage formulation
(Dassault 2014), 3D solid finite element models were
developed using Abaqus (Dassault 2014). The finite
element type C3D8R was also adopted here using a mesh
refinement similar to that described in the previous section
(i.e., more than three layers of finite elements across the
thickness for all modelled parts).

As for the equivalent shank model (See Section 3.1.1),
the analysis was conducted by imposing monotonic
displacements to the nut until reaching the failure of the
assembly. Both initial stiffness and failure mode of HR
bolts can be simulated using a more refined approach. With
this regard, bolt geometry was also modelled with two
different diameters along the shank, corresponding to

Table 2 Proposed constitutive law for HR equivalent shank

Point Etrue plastic g trLle/ﬁv,k,balt
[-] [-] [-]
P1 0.000 0.931
P2 0.005 0.988
P3 0.017 1.008

-3.32E-3 Dn0n12 kmftening Etrueplastic,P4
+0.10709 D, - 0.453 +1.0136

Ps eps+0.001 0.000
k.vo/'i‘ening =-0.3328

P4

0.50 -
0.40 -
2030 4
2
%020 -
g
W 0.10 v =-0.00332x2 + 0.10709x - 0.45300
: R = 1.00000
0.00 ‘ ‘ ‘ ‘
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BOLT DIAMETER [mm]

(b) Variation of ultimate strain with bolt diameter

Fig. 4 Proposed simplified constitutive law for HR equivalent bolt shank model
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response curves
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Fig. 6 Progressive ductile damage model

the smooth part and that corresponding to the equivalent
arca of the threads. This assumption allows directly
obtaining the initial stiffness of the bolt with good accuracy.
In addition, modelling the transition of diameter along the
shank enforces the failure in the threaded zone as verified
by experimental tests.

The ductile failure was simulated using progressive
damage model (Dassault 2014), which accounts for damage
initiation, softening, crack initiation and progression as
shown in Fig. 6, where point D = 0 corresponds to the
damage initiation point, the dashed curve represents the
undamaged material response and the continuous line after
point D = 0 represents the material softening. The formula-
tion for ductile damage included in the Abaqus (Dassault

2400 -
~
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£
Z. 1600 -
wn
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E — M24 HR
w300 7 — M20 HR
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400 | -
E — Pavlovic et al. (2015)
0 ; ; : : ‘
0.0 0.1 0.2 0.3 04 0.5

TRUE PLASTIC STRAIN [-]
(a) Undamaged material constitutive law

2014) software package was adopted, requiring the
definition of the generic undamaged material response
curve, damage initiation criterion and damage evolution
law. The equivalent plastic strain at the onset of damage is
dependent on strain rate and stress triaxiality 7, defined as
the ratio between the hydrostatic pressure stress (or
isotropic stress) oy and the Von Mises equivalent stress o,
(Dassault 2014). The adopted undamaged material plasticity
curve is the one given by Pavlovic et al. (2015) for grade
10.9 bolt assemblies. Fig. 7(a) shows the comparison
between the adopted curve and those obtained by scaling
the strength of the curves to account for the actual strength
of the bolt specimens. As it can be recognized the
differences are negligible, thus confirming the suitability of
the data given by Pavlovic ef al. (2015). Consistently, equal
damage initiation criteria were adopted for the calibration of
the M16, M20 and M24 assemblies. The curve of the
adopted damage initiation criterion is shown in Fig. 7. A
linear damage evolution law based was assumed, with the
effective plastic displacement u” defined as the product of
the equivalent plastic strain at failure 3_,"1 and of the
characteristic length L of the finite element.

The calibrated curves for the damage parameter D as a
function of «”' are shown in Fig. 8(a), while the validated
curves for the equivalent plastic strain at failure &/ "as a
function of bolt nominal diameter are shown in Fig. 8(b),
having adopted the finite element length L = 2 mm. The
calibrated curves show that the damage evolution is similar
for different bolt diameters, consistently with the similar
softening rates exhibited in experimental tests. Similar
equivalent plastic displacement values were obtained for the
M16 and M20 assemblies, while for the M24 a significant
reduction was observed, coherently with the reduced
ultimate displacement displayed in the experimental tests by
D’Aniello ef al. (2016).

The force-displacement comparison between the experi-
mental and the calibrated numerical progressive damage
model response is shown in Fig. 9(a) and the numerical
model for the M24 assembly after fracture is presented in
Fig. 9(b). The comparison between the M24 test specimen
and the numerical model in Fig. 9(b) highlights that the
fracture occurs in a similar position. This result shows that
the adopted ductile damage model is capable of capturing
the position of the fracture in a zone characterized by
geometrical discontinuities and stress concentrations.
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r 900 1
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(b) Damage initiation criterion (Pavlovic et al. 2015)
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Fig. 7 Ductile damage model
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Fig. 9 Comparison between the predictions of ductile damage model and experimental results by D’ Aniello et al. (2016)
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Fig. 10 Model of HV assemblies

The calibrated progressive damage models are capable
of accurately capturing damage initiation, softening and
failure mode, although requiring a computational effort two
times larger than the simplified model with equivalent
shank (see Section 3.1.1). Hence, this modelling strategy
appears to be suitable for application in small size models
and to predict crack initiation and propagation patterns. For
more complex models including a large number of bolt
assemblies and for large scale parametric studies for which
computational time is a key factor, a more simplified
approach could be more advantageous.

3.2 Modelling of HV assemblies

The modelling assumptions described for HR bolts are
not effective for HV assemblies, because their failure mode
is characterized by the nut stripping that cannot be

effectively simulated by an equivalent plastic failure as for
the shank necking. However, modelling the thread-to-nut
interactions requires significant computational effort.
Hence, a simplified modelling strategy was proposed. The
geometry of HV assembly was sub-structured into three
main parts: (i) the nut modelled by solid finite elements; (ii)
the bolt, comprising head and shank, modelled with solid
finite elements; (iii) a fictitious one-dimensional wire finite
element connected to the head and the nut as shown in Fig.
10(a) to simulate the nut stripping by means of an
equivalent plastic behaviour. This choice allows over-
coming problems of local shank necking by adopting a zero
Poisson ratio value for the cross section of the wire element,
to which a nonlinear material constitutive law function is
assigned in order to account for the different stages of the
HYV assembly response.

As for HR assemblies, the geometry of the shank was
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Fig. 11 Proposed HV model

modelled by meshing a solid cylinder having the nominal
circular gross area of the bolt. The nut geometry
corresponds to a hollow cylinder with its internal diameter
equal to the bolt nominal diameter. One end of the wire is
connected to the nut through a rigid body constraint, which
only allows longitudinal translation of the nut along the
direction defined by the wire. In addition, the second end of
the wire was connected to the internal surface of the bolt
head by a rigid body constraint. Hard contact without
friction was defined between the internal surface of the nut
and the solid finite elements of the bolt shank, since all
resistance opposing the nut slipping is accounted for in the
constitutive law of the wire.

C3D8R finite elements were used for the solid parts of
the model, which are characterized by a linear elastic
behaviour with elastic modulus £ = 210 GPa and Poisson
coefficient v = 0.3. The equivalent elastic modulus of the
shank was determined as for HR assembly and the experi-

Table 3 Proposed constitutive law for HV wire element

Point Enrueplastic Cruel [k polt
[-] [-] [-]
P1 0 0.7867
P2 0.0023 a; 0.9808 p,
P3 0.0089 a, 0.9878 5
P4 0.0502 a3 0.2999 S5
PS Epy T 0y 0.2999 B+ Bilfykporc (Eps=Epa)
P6 as Bs

a=04ifD=16; o= 10if D > 16
H=0893ifD=16; f=10if D> 16
=0 ; =0 0=0.1091*D - 1.4
By=-8411E—3*D* + 3431E— 1*D — 2.443

oy = 6.711E = 3*D - 4.585E-2

By = 1000%(—5.558 E-2*D? + 2.406*D — 2.485E1)
as = 4.087E-4*(K+Y)* — 1.228E-2%(K+Y) + 2.825E-1
Ps=1E—-4

D = Shank nominal diameter

K = Height of the nut

Y = Threaded shank length outside the nut

(as defined in D’Aniello et al. 2016)

D, K, Y in mm

f,.xpo1r = bolt characteristic yielding stress

mental and calculated values are reported in Table 1.
Poisson coefficient equal to zero was associated to the wire
element and its nonlinear behaviour consists in a multi-
linear constitutive law that resists solely for tension relative
displacements between the bolt head and the nut. The
proposed equivalent multi-linear material response curve is
derived on the stress-strain curves reported in D’Aniello et
al. (2016) and shown in Fig. 11(a), while the equations of
each segment are reported in Table 3. Although the
proposed multi-linear material response curve requires the
definition of six points, this constitutive law only depends
on three geometrical parameters for one given bolt
assembly, namely the bolt nominal diameter (D), the height
of the nut (K) and to the threaded shank length outside the
nut (Y), respectively. It should be also noted that the main
advantage of this modelling strategy is that it can easily be
implemented in 3D finite element simulations of steel
bolted joints equipped with HV bolt assemblies. In order to
capture the complex response curve due to nut stripping, the
alternatives described in existing literature (e.g., Pavlovic et
al. 2015, Long et al. 2016) would require to model in great
detail the geometry of the crests of the threaded zone, thus
requiring a very high number of additional finite elements
in a very tight mesh to model this zone. Furthermore, all
contact interactions between portions of failed crests and all
surrounding elements would have to be defined, since the
failed crests remain blocked inside the threaded nut zone, as
experimentally observed by D’Aniello et al. (2016). This
could make increase the computational efforts required to
capture the strength loss and the post-peak response curve
up to the complete extraction of the nut.

On the contrary, by using a wire element to model all
stages of the bolt assembly response, the simulation of
bolted joints with multiple rows of HV bolts can be made
with very low computational effort, while satisfactory
capturing all stages of the complex ultimate response of HV
bolts. Of course, this proposed modelling approach should
not be considered as the only adoptable method to simulate
the behaviour of HV bolts, but it has to be considered as a
viable alternative to simulate the complex ultimate response
of this type of European pre-loadable bolts with relatively
low computational effort.

The comparison between the experimental and the
calibrated numerical bolt force-displacement response



Simplified criteria for finite element modelling of European preloadable bolts 651

curves is presented in Fig. 11(b). Due to the variability of
the experimental curves when nut stripping occurs, two
monotonic experimental curves for each assembly diameter
are plotted, so as to better verify the accuracy of the
proposed modelling assumptions. The comparison
displayed in Fig. 11(b) shows that the proposed modelling
strategy is suitable for capturing the highly nonlinear
behaviour of HV assemblies.

4. Verification of modelling assumptions
against experimental tests on bolted joints

The accuracy of the proposed modelling criteria were
also verified against some experimental results on bolted
joints equipped with European pre-loadable bolts. It should
be noted that, at the best knowledge of the Authors, the
most of European tests available in literature were obtained
using 8.8 grade bolts, whose mechanical features differ
from those of HV and HR 10.9 grade assemblies. Therefore,
the adopted experimental data came from existing studies
available for the Authors, where either HR or HV bolts
were used, namely: (1) tests carried out by Lima (2003) and
Da Silva et al. (2004) on flush end-plate joints equipped
with HR bolts and subjected to bending and axial force; (2)
tests carried out by loan et al. (2016) on detachable shear
links with bolted flush end-plate connections equipped with
HV bolts; (3) monotonic test carried out by Landolfo (2016)
on extended end-plate bolted joints equipped with HV bolts.

These specimens were used because their geometrical
and mechanical properties were fully available. It should be
noted that even though these connections did not failed in
the bolts, their inelastic response is highly influenced by the
behaviour of the bolts. For the sake of brevity, one
specimen from each set of tests is shown hereinafter.

The finite element type C3D8R (an 8-node linear brick
type element with reduced integration and hourglass
control) was used to discretize all the solid parts of the
model. The boundary conditions simulated the restraints
imposed during the experimental tests. The interactions at
the interfaces of elements in contact were defined
considering a “Hard Contact” Normal Behaviour and the
Tangential behaviour by means of Coulomb friction with
the friction coefficient 0.3. In addition, dynamic implicit
quasi-static analyses were performed.

(b)
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Fig. 13 Flush end-plate joint equipped with HR bolts:
experimental vs. simulated response curve

4.1 Flush end-plate joints equipped with HR bolts

Lima (2003) and Da Silva ef al. (2004) tested nine flush
end-plate beam-to-column joints with the same configura-
tion, but investigating several combinations of bending and
compression axial forces. The columns (HEB 240) were
simply-supported at both ends and the beams (IPE240) was
restrained to avoid lateral torsional buckling. The end-plate
was 15 mm thick, and all elements were made of steel grade
S275. All bolts were M20 HR grade 10.9.

All tested specimens failed due to excessive plastic
demand into either the end-plate or the welds. However, all
bolts in tension developed plastic deformations. The
comparison between the experimental failure mode of
specimen subjected to bending only with the numerical
predictions given by the simplified model (see Section
3.1.1) and the model with ductile damage (see Section
3.1.2) is shown in Fig. 12, which comprises the equivalent
plastic strain (PEEQ) in the end-plate, the beam and in the
bolts. The comparison between the experimental and
predicted response curves is depicted in Fig. 13. As it can
be observed, both modelling approaches provide satis-
factory accuracy with very similar distribution of plastic
strains. In addition, both models are able to simulate the
prying effects developing into the upper bolt row, which are
strongly dependent on the axial stiffness and carrying-
capacity of bolts.

4.2 Detachable links with bolted flush end-plate
connections equipped with HV bolts

Fig. 12 Flush end-plate joint equipped with HR bolts: (a) experimental failure (Lima 2003); (b) simplified model with
equivalent shank; (c) refined model with ductile damage
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Fig. 14 Detachable links with connections equipped with HV bolts: (a) geometry; (b) experimental vs. simulated
response curve; (c) experimental failure mode; (d) simulated failure mode

Ioan et al. (2016) tested detachable shear links within
DUAREM project. The welded built up links (with web
stiffeners welded only on one side) were made of S235
steel, while the end-plates (25 mm thick) were made of
S355. All bolts were M27 HV grade 10.9. The geometry of
the examined detachable links is depicted in Fig. 14(a).

Even though the bolts were not appreciably damaged
during these tests, their role significantly influenced the
overall response of the system. Indeed, in case of axial
restraints at the ends of a shear link, as the case with
detachable flush end-plate bolted connections, large
catenary forces develop into the link, thus affecting the
post-yield stiffness and the ultimate shear overstrength
(Della Corte et al. 2013). Since, the axial stiffness of the
bolts substantially influences the level of axial restraints at
both link ends, the accuracy of the predicted post-yield
stiffness of this type of shear link depends on the axial
stiffness of the bolt assemblies. This consideration is also
valid in case of joints subjected to catenary actions due to
column loss (Cassiano et al. 2016, Tartaglia and D’ Aniello
2017).

The behaviour of the bolts was simulated using the
modelling approach described in Section 3.2. (see Table 3
for the constitutive law for HV wire element, which was
updated considering the actual features of the bolts). The
accuracy of the adopted modelling assumptions is shown in
Figs. 14(b), (c) and (d), where the comparison between
numerical and experimental results in terms of both shear
force - rotation curves and failure mode highlights very
good agreement. In particular, Fig. 14(d) shows the
distribution of Von Mises stress into the bolts and the details
of the equivalent wires connecting the nut and the head of

the bolts. As it can be observed, the stress distributions into
the shank, the head and the nut at each bolt row are
consistent with the deformed shape.

4.3 Extended end-plate bolted joint equipped
with HV bolts

Landolfo (2016) carried out a monotonic test an
extended end-plate bolted joint equipped with HV bolts
within the framework of EQUALJOINTS project
(D’Aniello et al. 2017). The connection was designed to
behave as partial strength with balanced column web panel,
namely design to yield for the shear force corresponding to
the bending resistance of the connection. The profiles and
plates were made of S355 steel grade, while all the bolts
were M27 HV grade 10.9. The column (HEB280) was
simply supported at a distance equal to 3.4 m; the length of
the beam (IPE360) was 3.4 m and additional restraints were
provided in order to avoid its lateral-torsional buckling. The
geometry of the examined extended end-plate bolted joint is
depicted in Fig. 15(a).

As for the previous example, the behaviour of the bolts
was simulated using the modelling approach described in
Section 3.2. Figs. 15(b), (c) and (d) clearly show the accuracy
of the finite element model. Indeed, the comparison
between numerical and experimental response curve
highlights excellent agreement in terms of initial and post-
yield stiffness throughout the imposed displacement. The
simulated failure mode satisfactory matches that
experimentally observed, in terms of both connection
opening and plastic deformation of column web panel. This
outcome confirms that the model of the bolt is effective to
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Fig. 15 Extended end-plate bolted joint equipped with HV bolts: (a) geometry; (b) experimental vs. simulated
response curve; (¢) experimental failure mode; (d) simulated failure mode

simulate the prying effects developing in the upper bolt
rows from elastic to plastic stage.

5. Criticism of EC3 analytical prediction of
T-Stub response with HR and HV assemblies

The T-stub is a widely used model to predict the
behaviour of tension components in bolted joints. In case of
T-Stub connections exhibiting either failure mode 2 or 3,
the ultimate response is mostly influenced by the failure
mode of the bolts, which differ from HR to HV assemblies.
However, according to EC3:1-8 the analytical prediction
does not depend on the type of bolts, but only on their
resistance. Indeed, the bolts in tension are assumed as an
elastic perfectly plastic component (Latour and Rizzano
2012, 2014, Latour et al. 2014, Francavilla et al. 2015,
2016). This assumption disregards the post-peak loss of
strength that typically affects HV assemblies, while it can
be consistent with the response of HR assemblies. The need
of accounting for the strength loss of the bolt assemblies
could be important even when the component method is
used. Indeed, according to EN1993:1-8 the resistance of
each bolt row of the connection derives from the internal
equilibrium between the internal resultant of tension and

compression forces. However, the distribution of those
internal resultants varies with the connection rotation and
the assumption of perfectly plastic resistance can be poorly
accurate when mode 2 to 3 are activated. In order to
highlight both the accuracy of EC3 analytical predictions
and the differences on the T-stub response using HR or HV
bolt assembly types, numerical FE models were developed
on two T-Stub joints, whose geometry is depicted in Fig.
16(a), alternatively designed according to EN1993-1-8 to
exhibit either mode 2 or mode 3. Only half T-stub was
modelled, by taking advantage of symmetry conditions, as
shown in ia Fig. 16(b).

The analyses were carried out in a single step using
dynamic implicit quasi-static analysis with a linear ramp
function to apply displacements up to failure. Steel grade
355 with yield stress fi=7y,, % fox= 1.25 x 355 =444 N/mm’
(where y,, is the overstrength factor provided in EN 1998-
1), is used for end-plate, column and beam. Contact was
modelled using a Coulomb friction model with a friction
coefficient equal to 0.3. Finite element type C3D8R was
used to model all parts of the analysed T-stubs. The adopted
bolt modelling techniques for HR and HV assemblies are
those described in previously in Sections 3.1.2 and 3.2,
respectively.

For the T-Stub with HV bolts the sudden transition from
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Fig. 17 T-stub failure modesz

failure mode 2 to 3, which was predicted by the analytical
model in D’Aniello et al. (2016), was found to introduce a
pulse associated to the sudden loss of strength, which led to
numerical difficulties and to some internal force fluctuation
in the wire element. This computational problem can be
overcome by reducing the degree of meshing in the wire
element so as to limit the transverse vibration effects on the
wire. This option did not lead to any loss of accuracy of the

results, since the wire finite element is solely active in pure
tension.

The failure modes for the T-Stubs designed for mode 2
with HR and HV assemblies are shown in Figs. 17(a) and
(b) and the different stages leading up to failure of T-Stubs
with HR and HV bolt assemblies are presented in Figs.
17(c) and (d).

For the case with HR bolts (see Fig. 17(c)), the T-Stub
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evolves in failure mode 2 up to bolt fracture, as predicted by
the analytical model. Instead, the case with HV bolts
exhibits a more complex behaviour as shown in Fig. 17(d),
which starts with a failure mode 2 configuration for shank
yield displacements (Stage 2) and subsequently evolves to
mode 3-like (Stage 3) up to the complete extraction of the
nut (Stage 4). Fig. 18(a) depicts the comparison between the
numerical force-displacement response of T-Stub with HR
bolts and the analytical prediction developed by D’Aniello
et al. (2016), which used a 2D model with axially rigid
plates and rigid-perfectly plastic end-plate in bending.

As it can be noted the simulated failure modes are
consistent in terms of strength with the analytical mode 2
prediction. The EN 1993-1-8 prediction is also shown as a
bi-linear model representing initial stiffness and strength
capacity, assuming f, = 444 N/mm’* for members and the
bolt ultimate stress from experimental tests.

A significant difference can be observed in terms of
ultimate displacement for the HR case, which is due to
several reasons. Indeed, the actual bending behaviour of the
end-plate is not rigid-plastic, as assumed in the analytical
model and likewise, the end-plate is not axially rigid as also
assumed in the analytical model. This is consubstantiated
by the fact that the end-plate strain hardening partially
compensates for the bolt softening. Therefore, the
numerical model shows smaller softening rate than the
analytical curve for mode 2. Furthermore, as shown in Fig.
17(c), the nut rotates, implying that the bolt is not under
pure tension as assumed in the analytical model, enabling
the rotation of the end-plate. Finally, the Abaqus 3D model
clearly shows that the deformed shape at failure differs
from that assumed by the 2D analytical calculation. Indeed,
finite element analysis displays that prior to bolt failure
only the central part of the end-plate is in contact with the
column flange. In addition, as observed in Stage 3 of Fig.
17(c), while bolt fracture is occurring the end-plate is no
longer in contact with the column flange, implying prying
forces equal to zero, hence reducing the demand on the bolt
and enabling to achieve a larger displacement at collapse. In
addition, the bending of end-plate edges contributes to
reduce stiffness and to increase the ultimate displacement.
Finally, the EN 1993-1-8 (2005) prediction overestimates
the stiffness, while providing good agreement in terms of
ultimate strength.

The comparison between numerical and analytical T-

300 -
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(a) T-Stub with HR assemblies

Stubs theoretically designed for mode 2 with HV
assemblies is presented in Fig. 18(b). According to the
analytical prediction, mode 2 is the failure mode up to a T-
Stub displacement of 0.61 mm (to which corresponds a
tensile force of 225 kN), after which mode 3 is activated.
The FE response in Fig. 18(b) shows good agreement with
the analytical prediction for mode 2. Also in this case,
differences between FEM and analytical predictios are due
to modelling assumptions, as previously described for the
case with HR bolts. The loss of strength in the numerical
model occurs at 2.4 mm displacement, after which the T-
Stub transitions to failure mode 3, as recognisable by the
correspondence in terms of strength with the mode 3
analytical curve. For the T-Stub with HV assemblies, the
transition to mode 3 leads to a better agreement with the
analytical predictions, since end-plate strain hardening, nut
rotation and partial end-plate contact with the column
flange do not occur to the same extent as in mode 2 failure.
The ultimate displacement for the FE model is higher than
mode 2 prediction mostly due to difference in terms of
initial stiffness. As for HR bolts, the EN 1993-1-8 (2005)
prediction overestimates initial stiffness and does not
account for strength reduction leading to potentially unsafe
predictions of T-Stub response.

In order to assess the T-Stub response in mode 3 with
the proposed HR and HV modelling criteria, other two FE
models were developed based on the geometry shown in
Fig. 16(a), but with an end-plate thickness equal to 20 mm.
The FE models are shown in Figs. 19(a) and (b). The
comparison in terms of force-displacement response curves
between analytical and numerical T-Stub models with HR
assemblies is presented in Fig. 19(c), where the numerical
model clearly displays lower stiffness and larger displace-
ment at failure. As for the former cases designed for mode
2, the difference of initial stiffness is due to the end-plate
that is not perfectly rigid as assumed by the analytical
model. Furthermore, finite element models exhibit the
yielding of welds and end-plate, which also contribute to
reduce the stiffness.

This result is also in line with the experimental results
on end-plate beam-to-column joints (e.g., Broderick and
Thompson 2002, Aribert et al. 2004, Girdo Coelho and
Bijlaard 2007, etc.), which showed that EN 1993-1-8 (2005)
can significantly overestimate the initial stiffness of bolted
joints. Since the bolts are key components to determine
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Fig. 18 Force-displacement comparison between numerical model and analytical models from D’ Aniello et al. (2016)
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Fig. 19 T-Stub models with mode 3 failure — failure modes and comparison to analytical prediction model by

D’Aniello et al. (2016)

joint stiffness, these considerations highlight that the
formulation for the stiffness coefficient of bolts in tension
provided by EN 1993-1-8 (2005) should be revised in order
to account for the type of bolt assembly.

6. Conclusions

Modelling criteria for European preloadable grade 10.9
HR and HV bolts are described and discussed in this paper.

Two alternative modelling strategies with different
levels of complexity and refinement are proposed for HR
bolt assemblies, namely (i) the simplified equivalent shank
model; and (ii) the refined ductile damage model. The
comparison with test results shows that both proposed
modelling approaches can accurately simulate all stages of
bolt assembly response, including elastic response,
plasticity onset, softening and initiation of failure. However,
the failure mode with shank necking can be solely
simulated by means of the refined ductile damage model.

The proposed modelling criteria for HV bolt assemblies
are conceived to simulate the nut stripping without
simulating the geometry of the threads and the contact
interactions with the nut. In particular, the thread-stripping
is obtained using a one-dimensional wire type finite element
with Poisson coefficient equal to zero and characterized by
a multi-linear behaviour curve calibrated on the
experimental response of HV assemblies in order to mimic
the elastic response, the plastic onset, the initial thread
failure with significant strength reduction, the residual

strength plateau and the final softening up to the nut
removal.

The accuracy of the proposed modelling criteria was
also verified against some experimental results on
connections equipped with either HR or HV bolts.

The accuracy of EC3:1-8 analytical prediction of failure
mode 2 and 3 of T-Stub connections with both HR and HV
assemblies is also discussed and the comparison between
the numerical simulations highlight the need to account for
the type of bolt assembly even analytically. In particular, the
comparison between analytical and finite element model of
T-Stubs with HR bolts shows good agreement in terms of
strength but significant differences in terms of initial
stiffness and ultimate displacement, thus highlighting that
the formulation for the stiffness coefficient of bolts in
tension given in EN 1993-1-8 (2005) needs to be improved.

The comparison between analytical and numerical
models of T-Stubs with HV bolts showed that EN 1993-1-8
(2005) does not accurately predict the strength and the
displacement capacity of the assembly, thus being
potentially non-conservative. These results highlight the
need to revise the current version of EN1993-1-8, by
distinguishing between HV and HR bolts and relating the
strength and ductility of bolt components to the each
typology of bolt assembly.

It is important to highlight that the proposed modelling
assumptions should be intended as an attempt to develop
finite element models able to mimic the force-displacement
response of European preloadable grade 10.9 HR and HV
bolts with limited computational effort. Of course, the
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findings of this study do not have the presumption to cover
all possible types of bolts and mechanical fasteners
available on the constructional market, being also out of its
scope. Therefore, the extension of the presented results to
other types of bolt assemblies will need specific
investigation.
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